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CALCULATION OF THERMAL-FATIGUE LIFE BASED 
ON ACCUMULATED CREEP DAMAGE 
by David A. Spera 
Lewis Research Center 
SUMMARY 
A method is presented for  predicting the onset of thermal-fatigue cracking in high- 
temperature components such as turbine blades and disks which a r e  subjected to  arbi-  
t rary,  complex cycles of temperature and load. I t  is proposed that thermal-fatigue life 
can be determined solely from the basic mechanical properties of a material  by calcula- 
ting lives for each of two distinct and independent failure modes: (1) cyclic creep- 
rupture, using a modification of the well-known life-fraction rule proposed by Robinson 
and Taira,  and (2) conventional low-cycle fatigue, using the empirical equations of the 
Method of Universal Slopes developed by Manson. Equations a r e  presented in sufficient 
detail to completely define the analytical procedure. 
The proposed method of life analysis is illustrated and evaluated by using data from 
Glenny-type thermal-fatigue tes ts ,  as reported in the l i terature.  
disk specimens of the nickel alloy Nimonic 90 were heated and cooled in beds of fluid- 
ized sand to produce cracks similar to  those found on the leading and trailing edges of 
turbine blades and vanes after service. In this study, temperatures, strains, s t resses ,  
and finally lives a r e  calculated for the disk specimens, which were cycled under a variety 
of temperature and time conditions, with and without internal air-cooling. It is found in 
24 of the 28 cases  analyzed that cyclic creep-rupture is the dominant failure mode. 
culated and observed lives generally a r e  in good agreement. 
that efforts to predict and eventually improve the thermal-fatigue resistance of a high- 
temperature alloy or  component should be focused on the calculation and reduction of 
creep damage. 
In these tes ts ,  tapered- 
Cal- 
This investigation indicates 
INTRODUCTION 
This investigation w a s  conducted to develop a method for predicting the onset of 
thermal-fatigue cracking in a high-temperature component such as a turbine blade or 
disk. Thermal fatigue is defined as the cracking of a material  primarily by repeated 
heating and cooling which induces cyclic internal thermal stresses. In addition, stresses 
caused by external mechanical loads may a l so  contribute to  thermal-fatigue failure. Each 
thermal-fatigue cycle is a complex combination of changing stresses, strains, tempera- 
tures ,  and material properties. Stress, temperature, and t ime conditions may be suf- 
ficient to  cause both instantaneous plastic s t ra in  and time-dependent creep s t ra in  during 
each cycle. Therefore, a general method for calculating thermal-fatigue life must apply 
to  a cycle in which various types of material behavior are present in arbitrary combina- 
tions. This study presents a method of life calculation which can be used to  predict the 
start of thermal-fatigue cracking caused by a general thermomechanical cycle. 
A review of the research which forms a background fo r  this investigation has been 
given in reference 1. Some 30 references were discussed to trace the development of 
fatigue theory during the last 110 years. In general, the thermal-fatigue theory proposed 
in references 1 to 3 and further developed herein differs from previous work in one or  
more  of the following ways: 
than a modification of conventional room-temperature fatigue. 
rather than being limited to cycles which contain tensile mean s t ress .  
temperature, rather than being limited to a specific idealized laboratory tes t  such as iso- 
thermal strain-cycling. 
rupture under nonsteady conditions to account for the potentially beneficial effect of elim- 
inating net creep strain. 
life of various cycle parameters such as maximum and minimum temperatures, r a t e s  of 
heating and cooling, and hold periods. 
P. W. H. Howe at the National Gas Turbine Establishment (England). 
published what can rightly be termed the first complete thermal-fatigue analysis (ref. 4). 
The term "complete" stems from the fact that all stages of the general thermal-fatigue 
problem were t rea ted  (1) determining transient temperature distributions, (2) estima- 
ting the s t resses  using creep data, and (3) obtaining thermal-fatigue life by using isother- 
mal  mechanical endurance data for  slowly repeated cycles of tension. It w a s  emphasized 
that the important factor in determining life w a s  time-dependence of the same type as 
expressed in creep data, rather than a time-independent effect such as plastic deforma- 
tion. 
directly to conventional creep life, without recourse to the cyclic mechanical tes ts  used 
by Howe. 
(1) Thermal fatigue is considered to be primarily a creep-rupture phenomenon rather 
(2) Creep-rupture is assumed to be a possible failure mechanism in any cycle, 
(3) The proposed theory applies directly to the complete service cycle of load and 
(4) Modifications are presented to  existing cumulative damage rules for creep- 
(5) The proposed theory predicts in quantitative te rms  the effect on thermal-fatigue 
.In many ways this investigation is a continuation of pioneering work performed by 
In 1962, Howe 
Following this hypothesis, the present investigation wi l l  re la te  thermal-fatigue life 
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Figure 1. - Proposed thermal-fatigue theory. 
The method of analysis which wi l l  be used in this investigation is illustrated in fig- 
u re  1. 
mechanical cycle can be determined solely from the conventional mechanical and thermal 
properties of a material  by calculating lives for each of two distinct and independent fail- 
u re  modes: (1) cyclic creep-rupture, and (2) conventional low-cycle fatigue. A s  implied 
in figure 1, cyclic creep-rupture is the most common failure mode, particularly in the 
short  and intermediate life ranges. Life in this mode is calculated from conventional 
creep rates and rupture t imes by a modification of the linear cumulative damage rule 
proposed by Robinson (ref. 5) and Taira  (ref. 6). The modified Robinson-Taira theory 
unifies two apparently different phenomena - cyclic thermal fatigue and static creep- 
rupture - without the use of empirical constants derived from cyclic tests.  
Conventional low-cycle fatigue is considered to be an alternate failure mode which 
may be dominant for longer thermal-fatigue lives. Low-cycle fatigue life is calculated 
from conventional short-time tensile properties by the existing Method of Universal 
Slopes developed by Manson (ref. 7). This method relates  cyclic life to the mechanical 
s t ra in  range experienced by the material  and is independent of time parameters such as 
frequency. In its original form, the Method of Universal Slopes applies only to fatigue 
in the absence of any creep effects. However, simple modifications have been proposed 
in the l i terature to extend its range of application to include high-temperature fatigue. 
These modifications a r e  discussed herein and a r e  particularly appropriate for those 
cases  in which it is impractical to make a complete s t r e s s  analysis. 
ficient detail to  completely define the proposed analytical method. 
It is postulated that the thermal-fatigue life resulting from any thermal- - 
c 
This study is presented in the following manner: First, equations are given in suf- 
Secondly, these equa- 
3 
tions are used to calculate thermal-fatigue lives for comparison with Glenny-type 
thermal-fatigue data for  the nickel-base alloy Nimonic 90. Thirdly, the calculated 
and observed lives are used as a basis f o r  drawing general conclusions about the 
phenomenon of thermal fatigue and the usefulness of the proposed life analysis meth- 
od. 
tion during thermal fatigue of a turbine blade is often the same as the process of rupture 
during conventional monotonic creep. This leads to a proposed method of life analysis 
which is evaluated by using the resul ts  of thermal-fatigue tests obtained from the liter- 
ature. 
In summary, this investigation uses  the hypothesis that the process of crack initia- 
GLENNY -TYPE THERMAL-FATIGUE TESTING 
Glenny-type thermal-fatigue testing re fers  to the use of tapered-disk specimens 
which a r e  alternately heated and cooled rapidly in  beds of fluidized solids (ref. 8). A 
diagram of the fluidized-bed facility developed by Glenny and his associates is shown in 
figure 2. In this facility, the beds a r e  used in  pairs,  one each for heating and cooling. 
Compressed air enters  diffusion chambers below each bed and passes  upward through 
perforated plates which support the actual beds. The beds are filled with ceramic parti- 
c les  such as zircon sand. As the air passes  upward through the particles they become 
leviated or "fluidized" under the action of drag forces and develop a churning action 
analogous to that of a rapidly boiling liquid. Heating is accomplished by electric- 
resistance elements immersed directly in one bed, while cooling is achieved in  the other 
bed by a water jacket. The large heat capacity of the beds and the churning action of the 
I ----_ fl ,r Specimen Transfer actuators T---- 
! 
I 
Heating elements -- 
,' -'.-Air +' 
Perforated plate .- 
-Water 
jacket 
Figure 2. - Diagram of fluidized-bed thermal-fatigue facility developed by 
Glenny, et ai. (refs. 8 and 12). 
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(b) Corewoled tapered disk (ref. 12). 
Figure 3. - Thermal-fatigue specimens. Dimensions are  in inches (cm). 
particles a r e  conducive to rapid heating and cooling. Also, the high thermal inertia of 
the beds permits accurate temperature control over an extended period of time. 
Glenny-type thermal-fatigue tes ts  were first conducted using a "standard" tapered- 
disk specimen such as the one depicted in figure 3(a). During rapid heating and cooling, 
the thin periphery of the disk experiences faster temperature changes than the bulkier 
core section. The core constrains the free  thermal expansion and contraction of the pe- 
riphery, inducing cyclic thermal s t resses  which eventually cause radial cracks to appear 
at the thin edge, as shown in figure 3(a). Thus, failure in a tapered disk occurs under 
conditions of (1) rapid temperature range with respect to both time and distance, (2) in- 
determinate uniaxial stress, and (3) high ratio of surface to volume. These conditions 
a r e  also typical of the leading and trailing edges of turbine blades and vanes. The stand- 
5 
a r d  disk was  used extensively by Glenny et  al. (refs. 8 to 10) and also by Franklin, Hes- 
lop, and Smith (ref. 11) for their comparative study of thermal fatigue in 24 different 
high-temperature alloys. 
The central or  "core" portions of some turbine blades a r e  cooled by air flowing 
through spanwise passages. This airflow causes a decrease in average section tempera- 
tu re  and a corresponding increase in creep-rupture strength with.which to res i s t  centrif- 
ugal loads. J. T. Roberts (ref. 12) conducted tes ts  in a fluidized-bed facility to see if 
core-cooling would also increase thermal-fatigue life. Figure 3(b) shows how the stand- 
ard tapered-disk specimen w a s  modified to provide for core-cooling in  these tests. 
The general s ize  of Glenny's standard disk was increased by 50 percent, while the 
central  hole w a s  further enlarged to receive a hollow support shaft with two concentric 
passages. Air at 100' F (310 K) and 0.018 pound per second (8.2 g/sec) w a s  conducted 
to  the specimen through the inner passage, separated into 12 jets by radial holes in the 
shaft, impinged on the periphery of the central  hole in the disk, and then exhausted 
through the outer passage in the support shaft. 
METHOD OF ANALYSIS 
The following description of the analytical method contains some details which per- 
tain specifically to the Glenny-type thermal-fatigue tes t s  described in the previous sec- 
tion. However, the general method is applicable to any high-temperature component such 
as a turbine blade, vane, or disk. The complete analytical procedure consists of five 
steps: 
Step 1: Calculation of transient temperatures throughout the specimen, using meas- 
ured transient temperatures from references 12 and 13 to determine surface 
heat-transfer coefficients between the specimen and the fluidized beds 
of step 1 and equations from reference 14 
using the resul ts  of steps 1 and 2, thereby obtaining the transient peripheral 
s t resses  
Step 4 Calculation of the creep damage per cycle using the results of step 3, the 
monotonic creep-rupture strength of the alloy, and a linear cumulative damage 
theory, thereby obtaining the number of cycles to failure in the creep mode 
Step 5 Calculation of the number of cycles to failure in conventional low-cycle fa- 
tigue, using the range of strain calculated in step 2, the short-time tensile prop- 
er t ies  of the alloy, and an empirical fatigue equation 
Step 2: Calculation of transient s t ra ins  at the periphery of the disk using the results 
Step 3: Calculation of the elastic, plastic, and creep components of peripheral strain 
The temperature, s t ress ,  and strain conditions at the peripheral surface of the disk are 
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used to calculate creep and fatigue damage. Therefore, the te rm "calculated life" is de- 
fined herein as the theoretical number of cycles required to  cause failure of the surface. 
This w i l l  be compared with the observed number of cycles required to initiate cracking of 
the periphery of the specimen. 
Step 1: Calculation of Temperatures 
In a thermal-fatigue specimen or an engine component, two types of temperature 
data are usually required: (1) the general  distribution of temperature throughout the 
part, with which to calculate total s t ra ins  during the cycle and (2) the temperature at the 
probable points of failure in the part, with which to  calculate local thermal expansion and 
material  properties. A method for calculating these temperatures is generally required 
because temperature measurements can normally be obtained only at a small  number of 
points in the par t  and often not directly a t  the probable points of failure. For these rea- 
sons, a great deal of effort has been given to  the development of heat-transfer theory and 
practice which can be used to expand limited temperature measurements into complete 
temperature distributions. 
In this investigation, an existing computer code called TOSSA (acronym for Trans- 
ient or Steady-State Analysis) w a s  used to  calculate temperatures. The heat-transfer 
analysis w a s  started by constructing the nodal diagram shown in figure 3(a). This dia- 
gram converts the disk specimen into a lumped-parameter system in  which all heat is 
stored at the node points (shown as black dots) or is conducted between nodes along con- 
necters which may be internal, surface, or bed connecters. The ra te  a t  which heat is 
transferred along connecters or stored at nodes is determined by (1) the surface heat- 
transfer coefficients, (2) thermal conductivity, (3) specific heat, (4) density, and (5) the 
dimensions of the nodes and connecters. Quantities (1) and (2) were adjusted until the 
calculated peripheral and volume average temperatures agreed with measured values as 
reported in reference 13. 
erence 3. 
Details of the transient temperature analysis a r e  given in ref- 
Step 2: Calculat ion of Strains 
The calculation *of peripheral elastic s t ra ins  w a s  carr ied on simultaneously with the 
calculation of transient temperatures (step 1) by adding a new subroutine to the existing 
TOSSA code. 
peated in reference 3. The disk is assumed to  be composed of a se r i e s  of concentric cy- 
lindrical layers of variable length which are assumed t o  remain cylindrical during heating 
Equations for this subroutine were taken from reference 14 and a r e  re- 
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and cooling. Each cylindrical layer is assumed to  be uniformly at its average tempera- 
ture, s t ress ,  and s t ra in  states. It is assumed that the disk specimens are thin enough to  
make this one-dimensional analysis acceptable. 
that a more complex two-dimensional analysis would be justified to  determine the effect of 
axial temperature gradients on the calculated peripheral strains.  
The calculation of the elastic, plastic, and creep  components of s t ra in  is based on 
the assumption that the calculated total s t ra ins  are approximately the same for a given 
temperature distribution whether or not plastic s t ra in  is assumed to  occur. Thus, for a 
uniaxial state of s t r e s s  such as that which exists at the disk periphery, 
However, this investigation indicates 
in which 
E peripheral strain, percent 
t, m, T total, mechanical, and thermal, respectively 
calculated total strain, assuming completely elastic behavior, percent 
€0 
Also, 
and 
in which 
- E m = E e + E  + E C  P 7 
e, p, c elastic, plastic, and creep, respectively 
a, 
T temperature, OF (K) 
RT 
- 
mean coefficient of thermal expansion, percent/OF (percent/K) 
room temperature, 70' F (290 K) 
Equation (la) defines the "method of s t ra in  invariance'' which was proposed by Men- 
delson and Manson (ref. 15) on the basis of their analysis of several  kinds of thermoelas- 
toplastic problems. Relative constancy of total s t ra in  with and without plastic flow indi- 
cates that, for thermal loads, s t ra ins  depend almost completely on compatibility condi- 
tions which are geometric relations independent of the actual s t ress-s t ra in  behavior. 
8 
.... . _ _  ..... 
Step 3: Calculation of Stresses 
Equations (1) may be combined to  give 
- - c0 - E - - c~(T - RT) 
P 
o r  
s = E Eo - E - c C  - Z~(T - RT] P 
in which 
S 
E 
peripheral stress, ksi  (kN/cm 2 ) 
Young's Modulus, ksi/percent (kN/cm 2 /percent) 
The amount of instantaneous plastic s t ra in  E is calculated by assuming ideally 
plastic behavior at known minimum and maximum s t r e s s  limits, so that 
P 
The minimum and maximum stresses are reached during the heating and cooling half- 
cycles, respectively. Therefore, combining equations (2a) and (2b) gives 
'p, i- 1 
10. 
Smin < s. 1 < smax 
s. = s 'm in 
Ei 
' c ,  i - 'T, i 1 min --- 
or 
'max 
Ei 
' c ,  i - 'T, i 'i = Smax --- €0, i 
in which i is the time-increment index. The minimum and maximum s t r e s ses  a r e  actu- 
ally the yield strength of the alloy at the temperatures which coincide with the minimum 
and maximum mechanical strains. Their exact values cannot be determined accurately in 
advance because of the possibility that cyclic strain-hardening or strain-softening wil l  
9 
ra i se  or lower the yield strength, respectively. 
fatigue life is not sensitive to moderate variations in  yield strength, s o  the conventional 
tensile-test values of yield strength are usually satisfactory. 
Fortunately, the calculated thermal- 
The creep s t ra in  at time i may be expressed as 
+ - ‘c, i - ‘c, i-1 2, dt Ji i- 1 (4) 
in which 
ic creep strain rate, percent/hr 
t time, hr 
The creep rate is calculated by using the assumption that creep ra te  and rupture time a r e  
inversely proportional for the same s t r e s s  and temperature. 
tion is consistent with creep-rate data on Nimonic 90 at relative high stress levels 
(ref. 1). The constant of proportionality between the creep rate  and the inverse of the 
rupture time is assumed to depend on the temperature, or 
This simplifying assump- 
in which 
K known function of temperature, percent 
tr time to rupture, h r  
and temperature by using the following equation developed in reference 1: 
In this investigation, the rupture t imes tr a r e  calculated from the values of s t r e s s  
in which 
log logarithm to the base 10 
temperature-dependent parameter, interpolated from a table of values 
curve-fit constants, independent of temperature 
AT 
B, C, D 
The derivation of equation (6) is given in reference 1. 
10 
The integral in equation (4) is evaluated by using a standard RungerKutta technique, 
as explained in the appendix. 
Step 4: Calculation of Cyclic Creep Life 
The calculation of accumulated creep damage is performec at the end of each time 
increment A t  by using the following equations (see fig. 4): 
and 
C~cp, = 1 at failure 
in which 
qc  creep damage per cycle 
t l  
tr 
This is the so-called "linear damage rule" or "life-fraction rule" originally proposed 
by Robinson (ref. 5) to account for temperature variations during conventional creep. It 
w a s  later modified by Taira  (ref. 6) through the addition of the absolute-value sign to the 
duration of 1 cycle, h r  
creep-rupture time a t  1 S I  and T, the average stress magnitude and temperature 
during At, h r  
I /-Smooth 
- - - - - - - - - - 
Time to rupture, t, 
v) ;i;VI z 0 p(J 
Time, t 
Robinson-Taira theory: creep damage, Ap, % CAt/tr,, 
Proposed modification: CAt/tr,, <Apt < CAt/tr,, 
Figure 4. - Linear creep damage theory. 
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s t r e s s  in order to give full weight to damage by compressive s t resses .  The role of com- 
pressive s t r e s s  in  causing creep damage is discussed further in this report, and a tenta- 
tive hypothesis on the subject is proposed. 
Over the years  the simple linear damage rule  has  been very useful in  estimating 
creep life under nonsteady conditions of s t r e s s  and/or temperature. However, the dam- 
age fractions At& are assumed to be independent of the s t ra in  history of the material. 
Thus, no distinction is made between a tes t  with net s t ra in  (such as a conventional creep- 
rupture test) and one without net s t ra in  (such as a strain-cycling test). A simple modifi- 
cation to  equations (7) was proposed in references 1 and 2 to account for some of the ob- 
served effects of net strain. 
s t ra in  is potentially detrimental to  creep-rupture life, because it can lead to'increasing 
t rue stress and tensile instability. Then, for  a given nominal s t r e s s  and temperature, it 
is assumed that a smooth creep specimen wi l l  have the shortest possible life, because 
such a specimen experiences the maximum amount of necking and, therefore, net strain. 
It is further assumed that a mildly notched creep specimen can be used t o  approximate the 
increase in  creep-rupture life which can be expected if  net s t ra in  is eliminated. At theo- 
retical  stress-concentration factors of 2 to 4 many alloys experience notch-strengthening. 
Rupture t imes a r e  often considerably longer than those for smooth specimens at the same 
nominal stress and temperature. The triaxial s t r e s s  state at the notched section severely 
limits necking and thereby substantially reduces net strain. It might be said that the bene- 
ficial effects of reducing creep s t ra in  more than offset the detrimental effects of the mod- 
erate  s t r e s s  concentration at the notch. On the basis of these assumptions, the rupture 
time in equation (7a) may vary between limits as follows: 
To derive this modification to equations (7), the assumption is first made that net 
e t  -=t tr, s - r - r , n  
in which the subscripts s and n designate conventional creep-rupture data obtained with 
smooth and notched specimens, respectively. In this way, upper and lower bounds on life 
a r e  calculated. In the case of actual notch-weakening (t < t,, s) only the smooth rup- 
ture  time is used. The thermal-fatigue specimens a r e  not notched, therefore, the detri- 
mental effects of the stress-concentration should not be included. Notch-weakening sim- 
ply indicates that any benefit to be derived from reducing net strain can be neglected. 
Equations (7a) to (7c) define what is called the q'modified Robinson-Taira theory'' for cal- 
culating cyclic creep damage. These equations depend only on the instantaneous values of 
s t r e s s  and temperature, and they can therefore be applied to any cycle, however irregu- 
lar or  intricate. This flexibility is particularly useful for the life analysis of components 
which have complex service cycles. 
The application of equations (7) is illustrated in figure 4. The s t r e s s  S is the abso- 
r, n 
12 
lute value of the average s t r e s s  during the time increment At.  The rupture t imes for  
smooth and notched specimens are then determined from equation (6) for this s t r e s s  level 
acting continuously at the average temperature during At,  and these quantities a r e  des- 
ignated as t and tr,n, respectively. The increment of creep damage during A t  is 
then assumed to be greater  than or  equal to  the fraction At/ t  
the fraction At/tr ,  s. The accumulated creep damage at failure is assumed to be 1, so  
the theoretical number of cycles, each with duration tl, which would cause cyclic creep 
failure is 
r, s 
and less  than or  equal to r, n 
1 or 1 Nf 2 
0 
and 
1 or 1 N, I 
in which Nf is the number of cycles to failure. 
Step 5: Calcu lat ion o f  Low-Cycle Fatigue Li fe 
The number of cycles required for  conventional low-cycle fatigue failure is calculated 
from the following empirical equations which comprise the Method of Universal Slopes 
(ref. 6): 
Ace = 3.5- UTS N i 0 . l 2  
E 
0.6 -0.6 = 100 Dt Nf 
in  which 
13 
A€ strain range, percent 
m y  e, i mechanical, elastic, and inelastic, respectively 
number of cycles to failure 
2 ultimate tensile strength, ksi (kN/cm ) 
Nf 
UTS 
E Young's Modulus, ksi/percent (kN/cm 2 /percent) 
tensile ductility, -1 n(l - RA/lOO) 
RA reduction of area, percent 
Dt 
Figure 5 illustrates how equations (9) are used to  predict low-cycle fatigue life for the 
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Figure 5. - Conventional fatigue resistance of Nimonic 90, 
predicted by Method of Universal Slopes. 
alloy Nimonic 90. 
cycles to failure at 1600' F, while line CD is the relation between the inelastic strain 
range and cycles to failure. In this simplified analysis, the slopes of -0. 12 and -0.6 on 
full logarithmic coordinates a r e  used for - all metals, which leads to  the designation "uni- 
versal" slopes. The sum of the ordinates from lines AB and CD produces the line EF, 
allowing a prediction of life solely from the mechanical s t ra in  range. The analyst need 
not determine the individual elastic and inelastic components, which a r e  often more diffi- 
cult to compute and subject to greater e r r o r  than the mechanical strain range. 
tively iwlependent of time effects. Cyclic frequency and creep were assumed to be vari-  
ables of minor importance. These same assumptions a r e  inherent when equations (9) a r e  
used to calculate high-temperature life. As the tes t  temperature is raised, a fatigue fail- 
ure  without any creep effects becomes more of an idealization. In reference 16, Manson 
Line AB is the predicted relation between the elastic strain range and 
Equations (9) were originally developed to describe fatigue behavior which is rela- 
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discussed the effects of creep on fatigue and proposed a simple modification to the Method 
of Universal Slopes which leads to a more realistic prediction of high-temperature fatigue 
life. A s  a f i rs t  approximation, various creep effects w e r e  assumed to  combine to reduce 
high-temperature life to about one-tenth the value computed from equations (9). This 
"1Wo rule" w a s  evaluated further in reference 17 and w a s  found to provide a reasonable 
lower bound on life for a variety of alloys, test  temperatures, and cyclic frequencies. 
Thus, equations (9) and the 1% rule can be used to  predict cycle-dependent lives neglect- 
ing and including creep effects, respectively. 
For the Glenny-type tests, the strain ranges are defined by the minimum and maxi- 
mum strains  which occur during the heating and cooling half-cycles, respectively. When 
temperatures vary during a cycle, it has been recommended that a conservative approach 
be taken, namely that the temperature which leads to the shortest  calculated life be used. 
This procedure w a s  followed in this investigation, and generally produced the best  corre-  
lation between theory and experiment of several  assumptions which could be used to obtain 
an "equivalent" temperature. 
RESULTS AND DISCUSSION 
Comparisons of calculated and observed thermal-fatigue lives a r e  presented in three 
groups: (1) thermal fatigue of standard disk specimens, (2) thermal fatigue of oversize 
disk specimens with and without core-cooling, and (3) combined results. 
In order to perform the complete five-step analysis which w a s  summarized in the 
preceding sections, the following material  properties were required: 
(1) Thermal conductivity 
(2) Specific heat 
(3) Density 
(4) Mean coefficient of thermal expansion 
(5) Young's Modulus (dynamic) 
(6) Yield strength 
(7) Ultimate tensile strength 
(8) Reduction of a r e a  
(9) Creep-rupture strength 
(10) Creep s t ra in  ra te  
The ratio of the creep-rate parameter K in equation (5) to the tensile elongation 
These quantities are given for  Nimonic 90 in table I. 
was found to be 0.14 both at 1400' and 1800' F (1030 and 1250 K). These two tempera- 
tures  represent the extremes in  elongation for  this alloy, so  the same ratio of 0.14 was 
assumed t o  apply at all temperatures, leading to  the values of K shown in table I. 
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TABLE I. - MECHANICAL AND THERMAL PROPERTIES OF NIMONIC 90 
(a) U. S. customary units 
Temperature, T, O F  Property 
~ 
1600 70 1000 1200 1400 
Ultimate tensile strength, UTS, ks: 
Yield strength, S ksi 
Y' 
Reduction of area, RA, percent 
Creep-rate parameter, K, percent 
Creep-rupture temperature param- 
eter, log(hr): 
Smooth, A 
Notched, A 
T, s 
T, n 
160 
86 
42 
3.8 
15.00 
15.26 
151 
84 
3 1  
1. 7 
12.70 
12.96 
122 
78 
14 
1.6 
65 
63 
22 
3.4 
7.92 
8. 18 
10.40 
10.66 
Creep-rupture time 
(S = stress,  ksi), log(hr): 
Notched, log(t,- ,) 
Smooth, lodt,, s) 
2 
AT, 
AT. 
- 4.95 log(S) + 0.00660 S - 0.000277 S 
2 - 3.68 lOg(S) - 0.0669 S + 0.000206 S 
Young's Modulus (dynamic), E, 
ksi/percent 
332 - 8 8 ( 2 )  1800 - 3 6 ( 2 ) 3  1800 
Mean coefficient of thermal expan- 
sion (from 70' F), 5, 
percent/OF 
p .30  + 2. 40(&0) + 1.75(&)1 x 
Thermal conductivity, k, 
Btu-in. /ft2/hr/'F 5 6 + 9 1  - + 17 - G o )  (1;0)3 
Specific heat, y ,  Btu/lb/OF 1.108 + 0.0000244 T 
Density, p, lb/in. 3 1. 296 
16 
I, 
TABLE I. - Concluded. MECHANICAL AND THEFMAL PROPERTIES OF MMONIC 90 
Property 
2 Ultimate tensile strength, UTS, kN/cm 
Yield strength, S kN/cm2 
Y' 
Reduction of area, FtA, percent 
Creep-rate parameter, K, percent 
Creep-rupture temperature parameter, 
log(hr): 
Smooth, A 
Notched, A 
T, s 
T, n 
Creep-rupture time 
(S = stress,  kN/cm ), log(hr): 
Smooth, log(t ) r, s 
Notched, log(t ) r, n 
2 
Young's Modulus (dynamic), E, 
2 W/cm /percent 
._ __ 
Mean coefficient of thermal expansion 
(from 290 K), z, percent/K 
Thermal conductivity, K, W/m/K 
% _  
.- - .- - 
Specific heat, y ,  J/g/K 
3 Density, p ,  g/cm 
(b) SI units 
Temperature, T, K 
110 
59 
42 
3.8 
14.20 
14.66 
920 
104 
58 
31 
1.7 
11.90 
12.36 
1030 
84 
54 
14 
1.6 
9.20 
10.06 
1140 
45 
43 
22 
3.4 
7.12 
7.58 
~ 
125C 
AT, - 4.95 log(S) + 0.00957 S - 0.000583 S2 
AT, - 3.68 log(S) - 0.0970 S + 0.000433 S2 
9 .5  + 13.1(-) 1000 + 2. 4 ( e ) 3  1000 
0.452 + 0.000184(T - 256) 
8.20 
Standard Disk Specimens 
Preliminary . - calculations. - In figures 6 and 7, calculated and observed temperatures 
a r e  compared for a standard disk specimen during rapid heating and cooling between 
70' and 1690' F (290 and 1190 K). 
transfer coefficients of 200 and 130 Btu per square foot per hour per OF (1130 and 740 
W/m /K) for heating and cooling, respectively. 
in reference 7. In order to match observed temperature gradients in the disk, it w a s  
necessary .to reduce the thermal conductivity to 70 percent of the nominal value given in 
table I. This reduced conductivity probably results from the lumped-parameter approxi- 
mations in the heat-transfer analysis. 
transient temperatures, assuming completely elastic behavior. The minimum and maxi- 
Good agreement w a s  obtained by using surface heat- 
2 These are the same coefficients reported 
Figure 8 shows the mechanical strain cycle at the periphery as calculated from the 
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-Calculated 
Heating time, sec 
Figure 6. - Calculated and observed temperatures dur ing 
heating of standard disk specimen of Nimonic 90. Tem- 
perature range, 70" F - 1690" F (290 K - 1190 K). 
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Figure 7. - Calculated and observed temperatures dur ing 
cooling of standard disk specimen of Nimonic 90. 
Temperature range, 1690" F - 70" F (1190 K - 290 K). 
u .- 
Elapsed time, sec 
Figure 8. - Calculated peripheral strain in standard disk 
specimen of Nimonic 90. Temperature range, 70" F * 1690" F 
(290 K Z 1190 K). 
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mum values occur within a few seconds after the start of rapid heating' and cooling, r e -  
spectively. The mechanical s t ra ins  become asymptotic to  zero with time because of the 
uniform temperature conditions approached in the disk. During slow cooling, mechanical 
strain is assumed to remain zero  at all times. 
rapid cooling is approximately twice that for  rapid heating and slow cooling, which leads 
to considerably different calculated fatigue lives for  the two conditions. 
Figure 9(a) illustrates a typical s t ress-s t ra in  hysteresis loop containing time- 
independent plastic flow as well as creep strain.  The minimum and maximum stresses 
were obtained from the yield strength of the alloy (table I) at temperatures of 1280' and 
The s t ra in  range for rapid heating and 
Heating T C o o l i n g  r 
N 
E u
z Y 
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VI VI 
W L
c VI
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-M 20 F 
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u) 
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- 
E 
r, 
a 
.- 
L 
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,-Creep 
100 -k4- 
1690" F (1190 K h  /' 
(1160 K), 15 sec? A 50 I1620" F 77 780" F 
T-%- 70" F 1290 K) 
-- r-Ideal ized plastic.flow I '/ - /- 
-100 
(a) Wi th plastic flow. Temperature range, 70" F = 1690" F 
(290 K * 1190 K). 
1290" and 1690" F 
(975 and 1190 K)  7 
25 c 
n. t 
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mean stress 
-25 - First cycle 
v I 
I 
.1 .2 . 3  
I I I 
0 
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I -50 ~~ 
-. 3 - .2 -. 1 
(b) Without plastic flow. Temperature range, 1290" F f 1690' F 
1975 K 1190 K). 
Figure 9. - Typical stress-strain hysteresis loops for standard 
disk specimens of Nimonic 90. 
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780' F (970 and 690 K), respectively. In this way, the cri t ical  extreme conditions in the 
cycle are consistent combinations of s t ress ,  strain, and temperature. At the start of 
heating, compressive peripheral stress is induced which quickly reaches the yield 
strength of the alloy and remains there  until 3 to 5 seconds have elapsed. Thereafter, 
elastic unloading to zero s t r e s s  is accomplished in another 12 seconds, followed by re -  
loading in tension. Creep s t ra in  is continuously occurring during both the compressive 
and tensile portions of the cycle. However, most of the creep s t ra in  occurs during the 
tensile part  of the heating half-cycle. The residual tensile s t r e s s  resulting from the pre- 
vious compressive plastic strain is considerably reduced by creep relaxation, as shown 
in figure 9(a). 
During rapid cooling, peripheral stress reaches and remains at the yield for 3 to 5 
seconds and then unloads to a residual compression condition. Because of lower tempera- 
tures,  creep during cooling is not significant. Successive cycles repeat the pattern of the 
first cycle because tensile and compressive inelastic s t ra ins  become, and remain, equal 
in magnitude. 
A second type of s t ress-s t ra in  loop is shown in figure 9(b). In this type, the temper- 
a ture  range during the cycle is not sufficient to cause instantaneous plastic flow. On the 
f i r s t  cycle, more creep occurs in compression during heating than in tension during cool- 
ing. Therefore, the second cycle is not a duplicate of the first but contains higher 
s t resses  for the same strains. This increase in average stress with cycling continues 
until tensile and compressive creep s t ra ins  balance and the cycle begins and ends at the 
same s t ress .  For this reason, "elastic" cycles require an iterative calculation process 
which is not necessary when plastic s t ra in  is present. 
for  thermal-fatigue tes ts  on the standard disk specimen of Mimonic 90 alloy. The effects 
on life of the following parameters a r e  shown: (1) assumed yield s t ress ,  (2) duration of 
the heating half-cycle, (3) minimum temperature for a constant maximum temperature, 
(4) maximum temperature for a constant minimum temperature, (5) maximum tempera- 
tureefor a constant temperature range, and (6) heating and cooling rates. The observed 
number of cycles to crack initiation w a s  determined by averaging the cycle numbers of the 
last inspection without cracking and the first inspection with cracks. Most of the results 
a r e  the average lives of several  specimens. 
In figure 10, the calculated number of cycles which cause cracking is presented as a 
function of the assumed yield s t r e s s  for the cycle which w a s  shown in figure 9(a). 
upper and low bounds of the band a r e  lives calculated from equation (8) by using the rup- 
ture  strength of smooth and notched specimens, respectively. As the assumed yield 
s t r e s s  decreases in magnitude, creep damage during compression is reduced and tensile 
creep damage is increased. This occurs because higher tensile s t resses  a r e  induced as 
the plastic strain in compression increases. At yield stresses l e s s  than 90 000 psi  
(62 kN/cm ), the increase in tensile damage is greater than the decrease in compressive 
Final results. - Calculated and observed cyclic lives are compared in figures 10 to 15 -
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Figure 10. - Effect of assumed yield strength on 
calculated life. Standard disk specimen of 
Nimonic 90; temperature range, 70" F 
(290 K 1190 K). 
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Figure 11. - Effect of the  duration of the heating period on 
thermal-fatigue life. Standard disk specimen of Nimonic 
90; temperature range, 70" F 1690" F (290 K k 1190 K). 
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Figure 12. - Effect of minimum temperature on thermal-fatigue life. 
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Standard disk specimen of Nimonic 90; temperature range, 
Tmin f 1690" F (Tmin 2 1190 K). 
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cooling only): 
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Figure 13. - Effect of maximum temperature on thermal-fatigue l ife 
wi th constant minimum temperature. Standard disk specimen of 
Nimonic 90; temperature range, 70" F =Tmax (290 K ZTmax). 
damage, causing a reduction in calculated lives. Thus, if  compression is assumed to be 
as damaging as tension, the calculated cyclic life is relatively insensitive to e r r o r s  in the 
assumed yield s t r e s s  of the alloy for cycles which contain instantaneous plastic strain. 
Of course, cycles without plastic strain a r e  a lso not affected by e r r o r s  in yield strength. 
This leads to the conclusion that an accurate knowledge of the cyclic yield strength of the 
alloy is not always necessary. Therefore, the initial yield strength was used in all the 
remaining life calculations to  establish minimum and maximum s t resses  in a given cycle. 
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Figure 14. - Effect of maximum temperature on thermal- 
fatigue l ife with constant temperature range. Standard 
disk specimen of Nimonic 90; temperature range, 
Tmax - 1440" F =Tmax (Tmax - 1060 K =Tmax). 
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Figure 15. - Effect of compressive damage on 
calculated thermal-fatigue l ife under slow 
heating and rapid cooling conditions. 
Standard disk specimen of Nimonic W: 
temperature range, 70" F =Tmax 
(290 K =Tmax). 
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Test results from reference 8 are plotted in figure 10 at a yield s t r e s s  equal to  the 
initial yield strength of the alloy. These results agree with the calculated life range, 
demonstrating the reasonableness of the concept that thermal fatigue can be a form of 
creep-rupture. Creep damage during the cooling half-cycle was negligible for these 
' tests,  s o  the assumed yield s t r e s s  in tension w a s  not an important parameter. The cal- 
culated low-cycle fatigue life for  these tests without creep effects w a s  about 2500 cycles, 
which emphasizes the dominant role of creep and the minor role  of conventional fatigue in 
causing the thermal-fatigue cracks.  
cycles to failure. During these tests, the heat-transfer coefficient w a s  always the same, 
so  the ra te  of heating did not change. Thus, the strain limits were approximately con- 
stant while the creep s t ra in  varied. The data from reference 9 are an average of three 
specimens and show a severe reduction in life as the heating period increases from 10 to 
100 seconds and no significant change for longer periods. It can be seen that the lives 
calculated with the linear creep damage theory are in good agreement with these data. 
The estimated fatigue life agrees  with the endurance of a 10-second immersion test. 
However, because longer immersion times do not significantly change the strain range 
for the complete cycle, approximately the same conventional fatigue life would be calcu- 
lated for all heating times, which is inconsistent with the test  results.  
In figure 12, calculated and observed lives a r e  compared for tes ts  in which the max- 
imum temperature was  maintained at 1690' F (1190 K) while the minimum temperature 
w a s  varied. Both heating and cooling were rapid. It can be seen that lives calculated by 
the creep theory agree with the experimental data, while fatigue theory greatly overes- 
timates the lives. The sharp change in calculated c reep  life at a minimum temperature 
of 800' F (700 K) signifies the transition from cycles - with plastic s t ra in  to cycles without 
such strain. It is apparent that e r r o r s  in life calculation can result  if the first-cycle 
s t resses  a r e  used when plastic s t ra in  is absent. In general, large changes in minimum 
temperature a r e  required to cause significant changes in  cyclic life. 
dominant role for the maximum temperature, which w a s  held constant during this se r ies  
of tests. 
at 70' F (290 K) and the maximum temperature is changed. 
figure 13, 
temperature is increased from 1400' to 1700° F (1030 and 1200 K). 
peratures above 1700' F (1200 K), lives remain approximately constant if cooling is rapid, 
or  they increase somewhat if the cooling ra te  is slow. 
sults is predicted by the creep theory, although the longer lives are overestimated. 
minor effect of cooling ra te  is also predicted by this theory because most of the creep 
damage occurs during the heating half-cycle for maximum temperatures above 1600' F 
(1140 K). 
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Figure 11 shows the effect of the duration of the heating half-cycle on the number of 
-
This indicates a 
. 
Considerably different behavior is observed when the minimum temperature is held 
Data from reference 9 show a sharp decrease in cyclic life as the maximum 
This behavior is shown in 
For maximum tem- 
The general trend of the test re-  
The 
The fatigue theory indicates that, at maximum temperatures less than about 1460' F 
(1070 K), thermal-fatigue cracks would form in accordance with conventional low-cycle 
fatigue experience. However, the indicated fatigue resistance applies only to tes t s  with 
rapid cooling. 
leading to calculated fatigue lives in  excess of 10 cycles. 
Figure 14 presents calculated and observed cycles to cracking for thermal-fatigue 
tes t s  at a constant temperature range of 1440' F (1060 K). Comparison with figure 13 
shows that the variation of cyclic life with maximum temperature w a s  about the same, 
whether or not the temperature range w a s  1440' F (1060 K). This conclusion w a s  reached 
experimentally by Glenny and Taylor (ref. 9) and is reaffirmed herein on the basis of 
calculated lives, but only for large temperature ranges. 
perature is a much more  significant parameter in determining cyclic life than the tem- 
perature range when the range is large enough to cause plastic strain. However, fig- 
u re  12 shows that for cycles without plastic strain, calculated life is sensitive to  changes 
in minimum temperature, and therefore temperature range, when the maximum temper- 
ature is held constant. 
Slow cooling reduces the mechanical strain range by almost one-half, 
4 
Apparently, the maximum tem- 
To complete this analysis of thermal-fatigue tes ts  on standard disks of Nimonic 90 
alloy, figure 15 presents resul ts  for  test cycles with rapid cooling but slow heating. At 
the end of the cooling half-cycle, the periphery of the disk specimen is in a stage of re-  
sidual compression at zero  mechanical strain and room temperature. During the slow 
heating to  the maximum temperature, the residual compressive s t r e s s  relaxes while the 
mechanical s t ra in  remains approximately zero. In effect, the s t r e s ses  are annealed out 
of the disk. During this slow heating period, significant creep damage is accumulated if 
compressive s t r e s s  is assumed to  be fully as damaging as tensile s t r e s s  of the same 
magnitude, as stated by equation ("a). However, figure 15 shows that lives calculated by 
using this assumption a r e  an order of magnitude shorter than those observed experimen- 
tally. On the other hand, i f  damage is assumed to occur only during tension, agreement 
between experiment and theory is the same as that shown in figures 10 to 14 for rapid 
heating and cooling. This behavior is very similar to  that observed here at  Lewis. 
Cyclic creep-rupture tes ts  of the "square wave" type were conducted on the cobalt- 
base alloy L-605 and on 316 stainless steel. In this type of test, equal magnitudes 
of s t r e s s  a r e  applied alternately in tension and compression, and the s t r e s s  is held con- 
stant while the specimen creeps between fixed strain limits. The resul ts  of these tests 
a r e  compared with monotonic creep-rupture time in figures 16(a) and (b). In these fig- 
ures ,  nominal stress is plotted against rupture time. If only the time spent in tension is 
plotted for the cyclic tests, the data points fall within or very near the range bounded by 
smooth and notched monotonic strength. However, this range significantly underestima- 
t e s  the total cyclic rupture time, particularly for the L-605 alloy. 
and 16 strongly indicate that compressive Stress is not particularly damaging, at least 
when the mechanical s t ra in  ra te  is zero (conventional relaxation) or the stress ra te  is 
, 
Thus, figures 15 
25 
60 
50 
u -... 
5 
- 
m c
0 
.- 
E 
30 
25 
.- 
v) Y 
VI 
z 
c cn - 
m e
E 0 
z 
.- 
Cyclic, square wave 
0 Tension t ime only 
0 Totaltime 90 
80 
70 
60 
0 
0 
0 
(a) L-605 at 1180" F (910 K). 
I 
Time to rupture, hr 
( b )  Type 316 stainless steel at 1300" F (980 K). 
Figure 16. - Comparison of cyclic and monotonic creep- 
rup ture  lives. 
zero (conventional creep). 
On the other hand, the analysis of other test data indicates that compressive s t resses  
can be damaging under other conditions of s t r e s s  and s t ra in  rate. 
L-605 specimens were strain-cycled sinusoidally at constant temperature, calculated and 
observed lives agreed much better when compressive damage w a s  included than when it  
w a s  neglected (ref. 2). Another strong indication of compressive damage is shown in fig- 
u re  17. In a ser ies  of tes t s  reported in reference 18, Hastelloy X specimens were ther- 
mally and mechanically cycled in three ways: with temperatures and strains in phase, 
with temperatures and s t ra ins  180 degrees out of phase, and isothermally. The in-phase 
test  produced tension at 1800' F (1260 K), while the out-of-phase tes t s  contained com- 
pression at 1800' F (1260 K). Of course, the isothermal tests had both tension and com- 
. 
For example, when 
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Figure 17. -Creep damage in Hastelloy X from 
combined strain and temperature cycling 
(ref. 18). 
pression at 1800' F (1260 K). As shown in figure 17, the creep damage at failure, in- 
cluding all compressive damage, approaches approximately the same value for all three 
3 t es t s  as lives approach 10 cycles. At this life, s t resses  a r e  low enough s o  that conven- 
tional creep and relaxation in compression a r e  small. 
s t r e s s  and strain ra tes  occurring in  compression. 
now proposed to determine if compressive s t r e s s  causes creep damage: 
Apparently, equations (7) may require further modification to account for the actual 
The following tentative criterion is 
During an increment of time, compressive s t r e s s  causes creep damage if and only 
if  the algebraic product of the stress rate  and the mechanical strain ra te  is greater 
than zero. 
Thus, equation (7c) might be rewritten as 
4 t  - = X t  Xtr ,s-  r -  r , n  
in which 
b 
(-1 for s L o 
for S <  0 and &, > 0 
for  S <  0 and &ms 0 
and S and km are the stress and mechanical s t ra inra tes ,  respectively. The tentative nature 
of this hypothesis must be emphasized. Considerable testing would be required to establish its 
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I c. 
validity. However, it does appear to be consistent with the high-temperature test data 
analyzed to date by the modified Robinson-Taira theory. 
Oversize Disk Specimens 
Thermal-fatigue tests on oversize specimens with and without core-cooling (ref. 12) 
were conducted with a nominal temperature cycle of room temperature to 1690' F 
(1190 K) at a frequency of 1/8 cycle per minute. When core-cooling w a s  used, it w a s  
necessary to raise the maximum bed temperature to 1725' F (1210 K) in order to main- 
tain the periphery of the specimen at 1690' F (1190 K) during the steady-state periods. 
. The results of the transient temperature analysis for the core-cooled condition a r e  
shown in figure 18. In this case, three sets of data were considered: peripheral, 
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heating of core-cooled disk specimen. Oversize disk 
specimen of Nimonic 90; temperature range, 70" F = 1690" F 
(290 K 1190 K). 
Figure 18. - Calculated and observed temperatures dur ing  
volume-average, and core temperatures. Only two variable quantities were used to f i t  
calculated temperatures to these data: the bed and core heat-transfer coefficients. A 
good fit of the temperature data w a s  obtained when the bed and core coefficients were 210 
and 380 Btu per square foot per hour per OF (1190 and 2150 W/m /K), respectively. 
Some deviations in the transient volume-average temperature and in the steady-state core 
temperature were noted. Also, it  w a s  necessary to reduce the boundary temperature for 
the heat-transfer analysis to 1710' F (1200 K) from the bed temperature of 1725' F 
(1210 K). This is not unrealistic because the bed temperature near the specimen may 
actually have been reduced somewhat by the cooled shaft supporting the specimen. The 
2 
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Figure 19. - Calculated peripheral strains, with and without 
core cooling. Oversize disk specimens of Nimonic 90; tem- 
perature range, 70" F 1690' F (290 K 1190 K). 
same bed coefficient w a s  used for  the disk without core-cooling, but with the bed temper- 
a ture  of 1690' F (1190 K). 
Figure 19 shows the variation of calculated peripheral s t ra in  during the heating half- 
cycle: In 4 seconds, both s t ra in  cycles reach minimum values with only minor differ- 
ences in s t ra in  or temperature. Thus, core-cooling has had little effect on the transient 
part  of the cycle. The major difference in peripheral s t ra in  between the core-cooled and 
the uncooled cycles is found during the steady-state period. In the uncooled disk, a uni- 
form temperature is eventually reached throughout the specimen, and the mechanical 
s t ra in  therefore approaches zero. In contrast, the core-cooled disk has a temperature 
gradient even in the steady-state condition, and the hotter periphery sustains a steady 
compressive strain of about 0. 15 percent a t  the end of the transient period. 
shown in figure 20. In this figure, the compressive yield strengths a r e  assumed to main- 
tain their first-cycle values of 82 000 psi (56 kN/cm ). No difference in the compressive 
stresses with and without core-cooling is observed for the first 10 seconds of the heating 
ual compressive s t ra in  induced in the periphery by core-cooling causes a significant re -  
duction in tensile stress. Without core-cooling, tensile stress reaches a peak value of 
31 000 psi  (21 kN/cm ), followed by considerable relaxation. On the other hand, core- 
cooling limits the tensile s t r e s s  to values less  than 16 000 psi  (11 kN/cm ) with very little 
re laxation. 
Figures 21(a) and (b) show the resul ts  of the thermal-fatigue tests on the oversize 
The effect of this compressive strain on the s t r e s s  cycle for the core-cooled disk is 
c 2 
b period. However, a major difference exists in the residual tension s t resses .  The resid- 
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Figure 20. - Calculated peripheral stresses, wi th and without 
core-cooling. Oversize disk specimen of Nimonic 90; tem- 
perature range, 70" F 1690" F (290 K 1190 K). 
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Figure 21. - Effect of core-cooling on thermal-fatigue life. Oversize disk 
specimens of Nimonic 90; temperature range, 70" F 
(290 K 2 1190 K). 
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disk specimens with and without core-cooling, respectively. 
failure cr i ter ia  were used. 
outside of the specimens, and failure w a s  judged by either a fine or a coarse pattern of 
cracking, termed the first and second standards, respectively. It can be seen that the 
ra te  of external cooling did not significantly affect cyclic life, even though the mechanical 
s t ra in  ranges differed by a factor of almost 2. This w a s  predicted by the creep theory 
because almost all creep damage occurs during the heating half-cycle, which in this case 
is not altered by the cooling rate. Calculated and observed lives are in agreement, both 
in the actual number of cycles and in the ratio of core-cooled to uncooled lives. The 
lower bound on calculated life agrees  better with the data. Using the lower bounds for  the 
two conditions, it w a s  calculated that core-cooling would improve life by a factor of 3 . 9 ,  
which compares favorably with an observed improvement of a factor of 3 . 8  to 4.5 for the 
coarse and fine cracks, respectively. It w a s  also observed that the periods of crack 
propagation from fine cracks to coarse cracks were in the ratio of 3 to 1. 
dicate that in thermal fatigue, crack propagation, as well as crack initiation, is governed 
by creep damage. 
Two test ,cycles and two 
The test cycles contained either rapid or slow cooling on the 
This may in- 
Com bi n ed Res u Its 
Figure 22 is a plot of observed cycles to crack initiation as a function of calculated 
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Figure 22. - Comparison between average observed and average 
calculated thermal-fatigue lives for Nimonic 90 disk specimen. 
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lives and summarizes the thermal-fatigue data presented earlier.  Twenty-eight differ- 
ent thermal cycles a r e  represented. In most cases,  the resul ts  plotted are the average 
of two or  more specimens. The calculated lives are either the average of the upper and 
lower bounds given by the creep theory or  the lives calculated by the Method of Universal 
Slopes without any creep effects included, whichever is shorter. Considering both creep 
and fatigue damage by the methods discussed in this report, cyclic creep w a s  found to  be 
the dominant failure mechanism in 24 of the 28 cases  analyzed. Fatigue w a s  dominant in 
two cases,  and both mechanisms were important in two cases. For these disk specimens 
of Nimonic 90, lives below 1000 cycles were governed by cyclic creep, while those above 
1000 cycles were governed by fatigue, regardless of the thermal cycle applied. However, 
this crossover life could easily change with the addition of external loads or changes in 
geometry. 
CONCLUDING REMARKS 
Thermal-fatigue tes t s  of the Glenny type have been analyzed by using a modification 
of the Robinson-Taira cumulative damage theory and the empirical Method of Universal 
Slopes. To perform this life analysis, it was  necessary to calculate transient tempera- 
tures ,  strains, creep damage, and conventional fatigue damage. The resul ts  a r e  very 
promising; it appears that the simple creep and fatigue theories used in  this investigation 
a r e  sufficient for the analysis and prediction of thermal-fatigue life. Therefore, a prac- 
t ical  method has been developed for predicting crack initiation in  high-temperature com- 
ponents subjected to arbi t rary thermal-mechanical cycling. 
fatigue, (2) improvement in the correlation between theory and experiment, and (3) sim- 
plification of the s t r e s s  analysis of thermal-fatigue specimens. Specific conclusions can 
be drawn for each topic. While conclusions concerning the importance of creep a r e  quite 
well substantiated by the results of this study, the second and third topics have not yet 
been thoroughly investigated. Therefore, the conclusions concerning correlation of 
theory with experiment and simplification of stress analysis require further study and 
possible modification. 
Three major topics have been investigated: (1) the importance of creep in thermal 
1. Importance of creep in thermal fatigue: 
a. Considering both creep and fatigue damage, cyclic creep-rupture is the dom- 
inant failure mode in 24 of the 28 different thermal-fatigue tes ts  analyzed in  this investi- 
gation. 
b. The linear damage rule for creep (Robinson-Taira theory) in its simplest 
form is capable of predicting the general effects on thermal-fatigue life of changes in 
such parameters as the temperature limits, heating and cooling rates, hold times, and 
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geometry. This  theory is not restricted to  a specific thermal  or mechanical cycle, but 
can be  applied to cycles of arbi t rary form. 
c. Use of conventional fatigue equations which relate cyclic life to  strain range 
without specifically accounting for creep effects can lead to  extremely unconservative life 
predictions. This is particularly t rue in the short and intermediate life ranges in which 
cyclic creep is generally the mode of failure. 
lives, in which case the creep theory would be unconservative. Hence, accurate life pre- 
diction over a wide range of lives requires the use of both theories. 
Fatigue may become dominant at longer 
2. Improved correlation between theory and experiment: 
a. The Robinson-Taira theory can be modified by using conventional creep- 
rupture data from both smooth and mildly notched (% = 2 to  4) specimens to represent 
rupture t imes with and without net strain, respectively. In this way, lower and upper 
bounds are defined for theoretical lives which may agree better with a variety of thermal- 
fatigue data than a single prediction which neglects the effect of net strain on rupture 
time. 
b. The rate of creep damage is generally governed by the absolute value of the 
s t ress ,  as well  as the temperature. 
tion a t  constant s t ra in  occurs in compression, damage apparently should be neglected. A 
tentative cri terion is suggested to determine whether o r  not to  include compressive dam- 
age: If and only if the algebraic product of the s t r e s s  ra te  and the mechanical strain rate 
is greater  than zero during a time interval, compressive damage should be included for 
that interval. 
However, when creep at constant stress or  relaxa- 
1 
1 
3. Simplified s t r e s s  analysis: 
a. The assumptions of (1) the invariance of total strain with plastic flow and 
creep and (2) the inverse proportionality of the creep strain ra te  and rupture time lead to  
the calculation of thermal s t r e s ses  in a greatly simplified manner with adequate accuracy. 
apparently not necessary for calculating thermal-fatigue life. 
which it can serve as a guide for the development of materials and the design of compo- 
nents with improved thermal-fatigue resistance. 
search for  the purpose of predicting and eventually improving thermal-fatigue life should 
be focused on the calculation and reduction of creep damage. 
b. Accurate knowledge of changes in alloy yield strength caused by cycling is 
The value of the proposed thermal-fatigue theory wi l l  be determined by the extent to 
4 
This investigation indicates that re- 
b 
Lewis Research Center, 
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APPENDIX - INTEGRATION OF CREEP STRAIN RATE 
The integral in equation (4) was  evaluated by using the standard Runge-Kutta tech- 
nique with fourth-order accuracy as follows: Let 
A t  = ti - ti- 1 
A t  
2 73 
72 = ti-l + - = 
Then 
k c  dt = 1 (bl + 2b2 + 2b3 + b4) 
6 
i- 1 
in which 
34 
, 
I l l 1  I I 
bl 
= z 
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